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50-N · m/2500-W Bearingless Motor for
High-Purity Pharmaceutical Mixing

Bernhard Warberger, Remo Kaelin, Thomas Nussbaumer, Member, IEEE, and Johann W. Kolar, Fellow, IEEE

Abstract—In this paper, a novel bearingless motor (50 N · m/
2.5 kW) for high-purity mixing applications is presented. The
motor consists of a stator with concentrated windings and an
exterior rotor with permanent magnets. The rotor is propelled and
spatially suspended only by means of magnetic fields. This paper
deals with the functionality and the mechanical setup of the new
motor. Thereby, the optimization of the motor design is presented
in detail. In order to evaluate the load of the bearingless motor
in mixing operation, a fluid simulation is set up. Moreover, after
the identification of the losses, a thermal simulation is established
in order to predict the temperature distribution within the motor.
Finally, a functional model is built up to verify the results.

Index Terms—Brushless motors, continuous stirred tank reac-
tor, design optimization, eddy currents, fluid dynamics, magnetic
forces, magnetic levitation, thermal analysis, torque measurement.

NOMENCLATURE

B Radial air gap flux density.
Bfe Flux density in stator teeth.
cfe, chy, β Material constants of stator iron.
da Outer diameter of agitator.
dv Diameter of vessel.
Dwall Mean diameter of tube-shaped tank wall.
fel Electric frequency.
Fx Bearing force in x-direction.
Fy Bearing force in y-direction.
g1, g2 Geometry proportion factor.
h Motor height.
ha Height of agitator.
hwall Height of tank wall.
IBNG Bearing current.
IDRV Drive current.
j Number of stator iron segments.
K Overhang correction factor.
k Number of stator coils.
kFx Bearing-current-force factor.
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kT Drive-current factor.
ktilt Tilting stiffness.
kz Axial stiffness.
mfe Mass of stator iron.
n Rotor speed.
Ncoil Winding number.
Ne Newton number or power number.
p Number of pole pairs.
Pcu Copper losses in stator windings.
Pfe, Ped, Phy Iron, eddy-current, and hysteresis losses.
Ptot Total losses.
Pwall Eddy-current losses in the tank wall.
Rcu Ohmic resistance of one stator coil.
Re Reynolds number.
ri Inner rotor radius.
ro Outer rotor radius.
T Rotor torque.
ws Width of stator teeth.
x, y, z Spatial coordinates.
αa Mixer blade pitch.
αel Electric angular rotor position.
αmech Mechanical angular rotor position.
∆r Radial rotor dislocation.
∆x,∆y Rotor dislocation in x- and y-directions.
∆z Axial rotor dislocation (z-direction).
δer Thickness of motor encapsulation.
δes Thickness of stator encapsulation.
δfluid Thickness of fluid gap.
δmag Thickness of magnetic gap.
δpm Thickness of permanent magnets.
δr Rotor ring thickness.
δwall Thickness of tank wall.
Θ Magnetomotive force (MMF).
Θmax,c Maximal MMF with two water-cooling helixes.
Θmax,nc Maximal MMF without additional water

cooling.
Θmax,sc Maximal MMF with one water-cooling helix.
ϑcu Temperature of stator windings.
ϑPCB Maximal temperature of printed circuit board

(PCB).
ϑS Temperature of position sensor.
µ Harmonic number.
ν Dynamic viscosity of process fluid.
ξ Overhang factor.
ρ Density of process fluid.
σ Electric conductivity of the tank wall.
ωel Electric angular velocity.
∧ Indicating peak values (amplitude).
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I. INTRODUCTION

THE bearingless slice motor was developed by Schoeb
and Barletta [1]. With this technology, contact-free ro-

tation and spatial suspension of a disk- or ring-shaped rotor
can be achieved. Meanwhile, this motor concept has been suc-
cessfully implemented in various commercially available prod-
ucts (e.g., high-purity pumps or contact-free wafer processing
tools [2]–[4]).

Another seminal field of application could be the pharmaceu-
tical or food industry, particularly the mixing of high-purity and
delicate fluids.

The aforementioned industry branches normally use stirred
vessels for mixing applications. The simplest setup is a mixer
with an agitator mechanically connected to a shaft. The draw-
back is that, where the shaft is penetrating the tank wall, a
sealing and a mechanical bearing must be installed.

Leakages, lubricants, and mechanical wear can contaminate
the process fluid. Due to the very small gap close to the
mechanical bearing, high sheer forces arise, which can cause
enduring damage to delicate process fluids or cell cultures [5].

A more advanced approach is the installation of magnetic
couplings in order to transmit the torque to the agitator inside
the vessel. With this technology, a hermetic encapsulated tank
design is enabled. Nevertheless, there is still a need for a
mechanical bearing to spatially suspend the impeller inside the
tank. Commonly, sliding-contact bearings with ceramic contact
surfaces are used [6]. Mechanical wear is reduced but cannot be
excluded. Other drawbacks are the very small fluid gap between
the sliding surfaces and the very poor dry-running capability,
which can become a problem during tank draining or during the
cleaning in place and the sterilization in place (SIP) process [7].

To overcome all these handicaps and to meet the tightened
purity requirements of the aforementioned industry branches,
a mixer topology based on the bearingless slice motor can be
implemented. Here, the stator is placed outside the hermetic
encapsulated tank. The impeller inside the tank is rotated and
spatially suspended by means of magnetic fields. The possi-
ble large fluid gap of several millimeters reduces the sheer
forces in the bypassing fluid, and mechanical wear can be
excluded. Moreover, this design exhibits unlimited dry-running
capability.

In principle, two setups of bearingless mixer motors are
thinkable (cf. Fig. 1): a bearingless motor with an interior rotor
disk or a setup with an exterior rotor ring. The latter design was
chosen due to the advantage that the convexity, which accom-
modates the stator, is pointing inside the tank. Therefore, after
draining or cleaning the tank, fluid residues can be excluded.

So far, outer rotor motors, mostly brushless dc motors or
permanent-magnet synchronous machines (PMSMs), are typ-
ically used for electric vehicles (direct drives [8]–[11]), for
wind turbines [12], for fans and blowers [13], or for DVD and
hard-disk drives [14]. In all these applications, mechanical bear-
ings are used to spatially suspend the rotor. These mechanical
bearings must be eliminated to successfully apply a PMSM in
high-purity mixing systems. Information about the setup and
the functional principle of bearingless motors can be found in
the literature [15]–[19], and in [20], a principle approach of a

Fig. 1. Principal implementation of a bearingless motor in a stirred vessel: On
the left side, a bearingless motor with exterior rotor (preferred design) is shown,
and on the right side, a bearingless motor with interior rotor is depicted.

bearingless slice motor with an exterior rotor is introduced. The
first practical industrial application of a bearingless PMSM with
an outer rotor for mixing purposes is presented in [21]. Here,
the motor is successfully implemented in a 300-W bioreactor
mixing system.

The possibility of an implementation of a bearingless motor
with a large magnetic gap (5 mm) in a large scale mixing system
(2.5 kW) has not been investigated so far. The interaction
between the shape of the contact-free suspended agitator and
the occurring fluid forces cannot be found in the literature and
must be determined by means of fluid simulation in order to find
an optimal combination of the agitator and motor. Moreover,
due to the compact design and high torque, the thermal stress
of the system components needs to be studied—particularly the
heat exchange with the process fluid and the necessity of an
additional cooling system.

In this paper, a bearingless motor with an exterior rotor
is presented. The motor should be applicable in high-purity
mixing vessels of up to 10 000 L. Here, the required torque
is about 50 N · m up to an operation speed of 500 min−1.
In Section II, the mechanical setup and functional principle
of the bearingless motor with an exterior rotor are explained.
Section III contains the design optimization of the motor based
on 3-D finite elements method (FEM) simulations. Here, the in-
fluence of various design parameters on the motor performance
is described, and in Section IV, the optimized design is verified
by a prototype. In order to estimate the necessary torque at var-
ious mixing speeds, a fluid simulation [3-D computational fluid
dynamics (CFD)] was set up. With the simulation model shown
in Section V, also the backlash on the motor caused by the fluid
and the agitator blade design is investigated. In Section VI, a
thermal simulation of the mixer motor is introduced. Due to the
high currents and the limited winding space, the necessity of
an additional cooling system is investigated. Moreover, during
the sterilization process (SIP, 130 ◦C), the motor, particularly
the implemented electronic parts, must be prevented from being
damaged by overtemperature.

II. SETUP AND FUNCTIONAL PRINCIPLE

In Fig. 2, the mechanical setup of the bearingless mixer
motor is depicted. The stator consists of a laminated iron



2238 IEEE TRANSACTIONS ON INDUSTRIAL ELECTRONICS, VOL. 59, NO. 5, MAY 2012

Fig. 2. Mechanical motor setup of the bearingless mixer motor.

Fig. 3. Schematic top view on rotor and stator illustrates the bearing force
generation in the x-direction at a rotational angle of αel = 0◦. Always two
opposing stator coils are supplied by bearing currents with the same magnitude,
but with different signs. One can see that the magnetic forces in the y-direction
annihilate each other and only a resultant force Fx in the x-direction remains.

core with six stator teeth and six stator windings. The rotor
is composed of a back iron ring with 16 permanent magnets.
The stator is mechanically connected to the motor flange and
is protected by a thin motor housing. The sensors for detecting
the rotational and the radial position of the rotor are embedded
in the corresponding sensor slots.

The coils on the stator teeth 1, 3, and 5, as well as those
on the teeth 2, 4, and 6 (cf. Fig. 3), are connected in star and
constitute two separated three-phase systems which are fed by
two half-bridge modules.

With proper current feed of the six coils, active and indepen-
dent control of three degrees of freedom (DOFs), namely, the
translation in the x- and y-directions and the rotation about the
z-axis, is possible. The three remaining DOFs (translation in
the z-direction and rotation about the x- and y-axes) are sta-
bilized passively by reluctance forces. The magnitude of the
reluctance forces is primarily determined by the geometric
design of the motor.

The generation of bearing forces and torque is described
in great detail in [22]–[24]. Here, an excerpt of the essential
information is presented.

A. Bearing Forces

In order to levitate the rotor, the actual rotor position is
measured with sensors, and the motor control unit sets the

appropriate radial bearing forces Fx and Fy by impressing a
bearing current IBNG into the stator windings. It is obvious that
the bearing current depends on the actual electric rotor position

αel = p · αmech (1)

which can be calculated by multiplying the mechanical rotor
angle αmech and the pole pair number p. The contribution of the
stator coil k to the resultant bearing force in the x-direction is

Fx,k(αel) = kFx,k · cos(αel + (k − 1) · 60◦) · Ncoil · ÎBNG.
(2)

Thereby, kFx,k is the bearing-current-force factor of coil k in
the x-direction, Ncoil is the winding number, and ÎBNG is the
amplitude of the bearing current. The resultant bearing force in
the x-direction is

Fx =
6∑

k=1

Fx,k. (3)

The bearing force in the y-direction Fy can be calculated
accordingly. In Fig. 3, an exemplary constellation of the gen-
eration of a bearing force in the x-direction at a rotor angle of
αel = 0◦ is illustrated.

B. Torque

In order to make the rotor spin, a torque about the z-axis
must be generated by impressing a drive current in the stator
windings. Similar to the bearing force generation, each coil k
contributes a fractional torque

Tk(αel) = kT · sin2(αel + (k − 1) · 120◦) · Ncoil · ÎDRV (4)

to the total torque

T =
6∑

k=1

Tk = 3 · kT · Ncoil · ÎDRV. (5)

Here, kT is the drive-current factor and ÎDRV is the amplitude
of the drive current. In Fig. 4, an exemplary constellation of
torque generation is depicted.

The simultaneous generation of bearing forces and torque
is put into effect by superimposing the corresponding control
commands for the power modules.

Another option would be two separated coils per stator tooth,
one for torque generation (supplied with IDRV) and one for
bearing force generation (supplied with IBNG). This approach
was abandoned because of the higher complexity of the system
(12 coils instead of 6 coils) and the higher copper losses [25].

III. DESIGN OPTIMIZATION

When optimizing the motor geometry, not only the torque
generation is an important criterion but also the tilting about
the x- and y-axes and the translation in the z-direction. The
latter three DOFs have a huge impact on the stability of the
mixer motor. The passive reluctance forces counteracting tilting
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Fig. 4. Schematic top view on the motor shows the torque generation at a
rotational angle of αel = 0◦. Always two opposing stator coils are supplied
by drive currents with the same magnitude and phase. The radial components
of the magnetic forces due to the drive current annihilate each other, and the
remaining tangential components result in the total torque T .

Fig. 5. Geometry definitions of the bearingless mixer motor. The picture
shows a 60◦ section of the motor. During the optimization process, the values
for the magnetic gap δmag = 5 mm, the motor height h = 30 mm, and the
outer rotor diameter ro = 119 mm were kept constant.

and axial displacement (tilting stiffness ktilt and axial stiffness
kz) are determined by the geometry of the magnetic circuit.
Therefore, during the optimization process, the effects of design
variations on ktilt and kz must be evaluated carefully.

Before optimizing the dimensions of the magnetic circuit, the
number of pole pairs of the rotor p and the number of stator
teeth must be determined. Previous investigations reveal that a
combination of 16 rotor magnets (p = 8) and six stator teeth is
optimal for the presented motor concept [22], [23].

With this setup, a high winding factor and a constant torque
[cf. (5)] are obtained. Moreover, the cogging torque is low, and
the six coils on the six stator teeth can conveniently be supplied
by two three-phase modules.

A. Definition of Design Parameters

In Fig. 5, the design parameters of the bearingless motor are
depicted. The rotor with the outer radius ro and the thickness δr

consists of a back iron ring and 16 permanent magnets with a
thickness of δpm. The inner rotor radius (air gap radius) is

ri = ro − δr. (6)

The height (elongation in the z-direction) of the motor is h.
The width of the stator teeth is denoted as ws. The magnetic
gap between the rotor and the stator is δmag. The thickness
of the rotor encapsulation is δer = 1 mm, the thickness of the
stator encapsulation is δes = 1 mm, and the tank wall thickness
is δwall = 1 mm. In order to keep the fluid sheer forces low, a
fluid gap of δfluid = 2 mm should be maintained. Therefore, the
magnetic gap results in

δmag = δfluid + δer + δes + δwall = 5 mm. (7)

As derived in [26] in detail, the torque

T |h=const. ∝ r3
i (8)

depends highly on the radial dimension of the motor. Therefore,
the torque can easily be raised by increasing the diameter of
the motor. However, to achieve good mixing, the size of the
rotor must be proportioned to the vessel size (see Section V).
According to existing mixer tank designs [6], the outer radius
of the rotor was set to ro = 119 mm in order to make the motor
suitable for a 5000–10 000-L vessel.

When examining the motor setup, it arises that the achievable
torque T is increasing with the motor height h. Contrariwise,
the tilting stiffness ktilt is reduced by increasing h. As will
be shown later, with h = 30 mm, the maximal tilting stiffness
is provided under the condition that the targeted torque is
achievable.

In order to calculate the motor torque, a specific value of
the MMF

Θ = Ncoil · IDRV (9)

has to be assumed. Θ is limited by the maximal allowable tem-
perature in the mixer motor. Based on the thermal simulation
presented in Section VI, the maximal MMF for a water-cooled
motor (full load) can be set to Θmax,c = 5000 At., but without
additional water cooling, the maximal MMF must be reduced
to Θmax,nc = 0.4 · Θmax,c.

B. Optimization of Geometry Parameters

As described earlier, the outer rotor radius ro, the motor
height h, and the magnetic gap δmag are already fixed. The
remaining free design variables are the inner rotor radius ri,
the stator tooth width ws, and the magnet thickness δpm.

In a first step, the influence of the inner rotor radius ri and the
magnet thickness δpm on the achievable torque is investigated.
When varying ri, a clear optimum is expected. If ri is below
the optimal value, the torque is reduced according to (8) which
cannot be compensated by the increasing rotor thickness δr =
ra − ri and the proportional increasing magnet thickness δpm,
respectively. On the other hand, if ri is too high, the torque is
reduced due to the small remaining rotor thickness δr and the
accordingly smaller magnet thickness δpm.

If ri is fixed to a certain value and only a variation of the
magnet thickness δpm is examined, also a clear optimum can
be expected. It is obvious that the torque is increased by rising
δpm. Otherwise, if δpm is too large, the remaining back iron
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Fig. 6. Achievable motor torque in dependence on the inner rotor radius ri

and the rotor magnet thickness δpm. Θmax,c is the maximal MMF with water
cooling, and Θmax,nc is the maximal MMF without additional cooling.

Fig. 7. Achievable motor torque T in dependence on the stator width ws for
a water-cooled and a noncooled motor.

ring gets smaller and saturates. Thus, the stronger magnets do
not result in higher magnetic flux and torque, respectively.

To find the optimum, various combinations of ri and δpm

have been simulated [27]. In Fig. 6, the results of this opti-
mization step are depicted. It arises that the highest torque is
achieved with an inner rotor radius of ri = 95 mm. The optimal
magnet thickness is within δpm = 7 mm . . . 8 mm, depending
on the level of applied ampere-turns. Finally, it was set to
δpm = 7 mm.

The last remaining design variable is the stator tooth width
ws. In Fig. 7, the coherence between ws and the motor torque
T is depicted. One can see that there is an optimum for a
water-cooled motor (design point 1) and an optimum for the
motor without additional cooling (design point 2). As expected,
due to the higher MMF Θmax,c in design point 1, the stator
width ws must be larger than that in design point 2 to avoid
saturation.

In order to decide whether the geometry should be optimized
for a water-cooled or noncooled setup, the effect of the stator
width ws on the axial stiffness kz and on the tilting stiffness
ktilt was evaluated. In Fig. 8, the results of this investigation
are depicted. It arises that both kz and ktilt are increased by a
wider stator tooth. Therefore, design point 1 was chosen, and
the stator width was set to ws = 26 mm.

Fig. 8. Axial stiffness kz and tilting stiffness ktilt in dependence on the stator
tooth width ws.

Fig. 9. Simulated torque and measured torque in dependence on the MMF.
Θmax,c is the maximal allowable MMF with two cooling helixes, and Θmax,sc

is the maximal allowable MMF with only one cooling helix. Without additional
cooling, the maximal MMF is Θmax,nc.

IV. VERIFICATION OF THE OPTIMIZED DESIGN

According to the optimal geometry dimensions defined in
Section III, a laboratory prototype was set up and was put
to operation successfully. First of all, the static torque was
measured and compared to the simulated results. In Fig. 9, the
achievable static motor torque in dependence on the MMF is
depicted. As described in Section VI, the maximal MMF must
be limited to avoid the overheating of the motor. Without a cool-
ing system (Θmax,nc), a torque of about 32 N · m is achievable.

With one activated cooling helix (Θmax,sc), the maximal
torque is about 47 N · m, and with two cooling helixes
(Θmax,c), the maximal torque is about 54 N · m.

During mixing operation, remarkable axial forces can act on
the rotor (cf. Section V). Therefore, the axial restoring force Fz

was examined in detail. The comparison depicted in Fig. 10
reveals that the measured and simulated values of Fz match
very well.

During the design optimization, only the static torque has
been considered. However, during operation, eddy currents
are induced in the metallic tank wall which is placed in the
magnetic gap and therefore penetrated by the alternating radial
flux density B (see Section VI). This electric conductible tank
wall acts like an eddy-current brake, and the maximal motor



WARBERGER et al.: 50-N·m/2500-W BEARINGLESS MOTOR FOR HIGH-PURITY PHARMACEUTICAL MIXING 2241

Fig. 10. Comparison of the simulated and the measured axial restoring force
Fz . The preload due to the own weight of the rotor was considered in the
simulation.

Fig. 11. Torque reduction due to eddy-current losses in the metallic tank
wall in dependence on wall material, wall thickness, and motor speed (Θ =
Θmax,c).

torque is reduced. In Fig. 11, the maximal possible motor
torque at Θmax,c in dependence on motor speed, wall material
(conductivity), and wall thickness is depicted. It can be seen
that the maximal torque is reduced, but the nominal torque of
50 N · m at 500 min−1 can be archived with various tank wall
materials.

Finally, the presented mixer motor was tested during oper-
ation. The motor was accelerated to the nominal speed n =
500 min−1 and afterward slowed down to a standstill. The radial
displacement ∆r(t) and the drive current iDRV(t) are depicted
in Fig. 12. The maximal radial rotor dislocation observed during
operation was only ∆r = ±200 µm.

V. FLUID FORCES

A. Fluid Simulation

In order to estimate the forces acting on the agitator in the
mixing operation, a finite-element fluid simulation (3-D CFD,
[28]) was set up. Moreover, this simulation should show which
principle agitator design is suitable for the bearingless mixer
motor. As described in Section VI, the process fluid is also
used for cooling the motor. To estimate the cooling effect of
the bypassing fluid, the knowledge of the flow profile around
the motor is essential.

Fig. 12. Radial displacement ∆r(t) and drive current iDRV(t) during an
acceleration up to 500 min−1 and a brake down to a standstill (displacement
scale of 0.5 mm/div, current scale of 2 A/div, and time scale of 1 s/div).

Fig. 13. (Left) Definition of mixer dimensions and (right) overview of simu-
lated agitator setups.

As depicted in Fig. 13, six different agitator setups were
simulated. Thereby, two standard agitator types were evaluated,
namely, the pitched-blade agitator (blade pitch αa > 0◦, cf.
Fig. 13) and the flat-blade agitator (αa = 0◦). When defining
the mixer dimensions, the proportion factor

g1 =
da

dv
≈ (0.2 . . . 0.4) (10)

between the diameter of the vessel dv and the outer diameter of
the agitator da and the factor

g2 =
ha

da
≈ 0.2 (11)

between blade height ha and agitator diameter da should be
respected to achieve good mixing process performance [29].

In Fig. 14, the characteristic flow patterns of a mixer setup
with a pitched-blade (left) and a flat-blade agitator (right) are
shown. Each mixing process can be defined by two dimension-
less numbers.

First, the Newton number (power number)

Ne ≡ 2 · π · T
ρ · n2 · d5

a

(12)
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Fig. 14. Characteristic flow pattern of (left) a clockwise rotating pitch-blade
agitator and (right) a flat-blade agitator.

Fig. 15. Simulated power characteristics Ne = f(Re) of the investigated
agitator setups (the parameters of the agitator setups are listed in Fig. 13).

is composed of the mixer load torque T , the fluid density ρ, the
rotational speed n, and the outer agitator diameter da.

The second dimensionless number is the Reynolds number

Re ≡ n · d2
a

ν
(13)

where ν is the kinematic viscosity of the process fluid [29], [30].
The power characteristics Ne = f(Re) of each agitator setup
were identified by simulation and are depicted in Fig. 15. In
order to calculate the torque, for example, for a larger tank or
for a fluid with higher viscosity, the torque can be scaled up
for a similar geometry under the condition that Ne = idem and
Re = idem [29], [30].

It arises that, at high Reynolds numbers (Re > 3 · 105), the
power number Ne can be considered as a constant. Thus, with
(12), the necessary mixer torque can be stated as

T ∝ n2 (14)

for a specific geometric mixer setup. In Fig. 16, the simulated
load torque T caused by the process fluid is depicted in depen-
dence on the rotational speed n at various mixer setups.

Another critical parameter is the fluid force Fz acting in the
z-direction on the rotor because this DOF is only stabilized
by reluctance forces (cf. Section II). If the force Fz exceeds
a specific value (about 150 N), the rotor could be pulled off

Fig. 16. Simulated load torque T in dependence on the agitator rotational
speed n at various agitator setups (the parameters of the agitator setups are
listed in Fig. 13).

Fig. 17. Fluid counterforce acting on the agitator in z-direction (Fz) in
dependence on the rotational speed n (the parameters of the agitator setups
are listed in Fig. 13).

from the stator. Therefore, Fz was investigated during mixing
operation. The results of this simulation are depicted in Fig. 17.
As expected, the pitched-blade agitators, particularly the agita-
tor with αa = 45◦, produce the highest axial force whereas Fz

could be neglected when operating a flat-blade agitator.
Via this fluid simulation, it could be demonstrated that the

introduced bearingless mixer motor provides sufficient torque
to operate various agitators which comply to the design rec-
ommendations (10) and (11). Agitator setups 1, 2, 4, and 6
can be used without limitation up to the nominal speed of
n = 500 min−1. When operating with setups 3 and 5, the
speed must be limited due to a too high value of T and Fz ,
respectively. For the forthcoming investigations, setup 2 was
chosen because the fluid torque at n = 500 min−1 is close to
the maximal achievable mixer torque of T = 54 N · m and the
occurring axial force Fz is quite low.

B. Verification

In order to verify the simulated data (torque T and axial
force Fz), the prototype (cf. Fig. 18) was installed in a 300-L
test vessel and was loaded with a four-wing flat-blade agitator
according to setup 2 (cf. Fig. 13). The motor was operated in a
speed range from 0 to 500 min−1.
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Fig. 18. Prototype setup. (a) Bearingless mixer motor with test agitator (cf. setup 2, Fig. 13). (b) Top view of semifinished motor showing stator windings and
stator iron. (c) Bottom view of the prototype showing the sensor electronics.

Fig. 19. Comparison of measured and simulated values of torque and axial
force during mixing operation. The mixer was operated with a flat-blade
agitator (cf. setup 2) in a 300-L test vessel.

Since, during mixing operation, T and Fz can be measured
only with huge technical effort, the drive current IDRV and the
axial dislocation ∆z of the rotor were recorded instead. The
actual torque

T = 3 · kT · Ncoil · ÎDRV

can be calculated according to (5), and the axial force

Fz = kz · ∆z (15)

can be calculated with the axial stiffness kz .
In Fig. 19, the simulated and the measured data are depicted.

The experimental data show that the fluid simulation predicts
the fluid forces quite well. At 500 min−1, the measured load
torque is about 50 N · m, and the rotor is dislocated less than
∆z = 1 mm in the z-direction.

VI. THERMAL SIMULATION

Due to the exterior rotor design, the available construction
volume for the stator and also for the stator windings is
restricted. Therefore, the stator current density must be high
to reach the targeted motor torque. To eliminate the danger

of overheating during operation, a thermal simulation was
implemented. Moreover, this simulation serves to examine if
electronic components in the interior of the motor take damage
during the SIP process at about 130 ◦C.

To set up a thermal simulation, all relevant heat sources in
the motor must be investigated. The following three sources
were identified: the iron losses in the laminated stator stack,
the copper losses in the stator windings, and the eddy-current
losses in the electrically conducting tank wall (placed between
the rotor and the stator).

A. Iron Losses

The total iron losses Pfe in the laminated stator stack are
composed of the eddy-current losses Ped and the hysteresis
losses Phy. Since the flux density is not homogeneously dis-
tributed in the motor iron, the laminated stack is segmented
into j parts so that, in each part i, the flux density Bfe,i can be
considered as constant [31]–[33] and the total iron losses can
be stated as

Pfe = ced · f2
el ·

j∑
i=1

B̂fe,i(Θ)2 · d2
fe · mfe,i

︸ ︷︷ ︸
Ped

+ chy · fel ·
j∑

i=1

B̂fe,i(Θ)β · mfe,i

︸ ︷︷ ︸
Phy

. (16)

The flux density Bfe in the stator teeth is almost sinusoidal
and alters with the electric frequency of the supply fel. The
coherence between the flux density magnitude B̂fe and the
MMF Θ was determined by 3-D field simulation.

B. Winding Copper Losses

The second relevant loss source is the copper losses in the
stator windings

Pcu = 6 · I2
DRV · Rcu(ϑcu) (17)
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Fig. 20. (a) Simulated radial flux density B in the tank wall at no load (Θ = 0) and at full load (Θ = Θmax,c), plotted in a stator fix reference frame at z = h/2
and αmech = 90◦. (b) Spectrum of the radial flux density B. The spectrum does not significantly vary with the rotational position αmech of the rotor, and only
the amplitudes of the second, the fourth, and the tenth harmonic significantly depend on the load.

where Rcu is the ohmic resistance of one of the six similar stator
coils which are energized by the drive current IDRV. Due to
the significant increase of the winding temperature ϑcu during
operation, the dependence of the resistance on the temperature
is considered.

C. Tank Wall Losses

Since the tank wall is placed between the rotor and the
stator of the mixer motor, the tank wall is locally penetrated by
alternating magnetic fields. The tank wall is made of stainless
steel which exhibits a significant electric conductivity. Hence,
eddy currents are induced which cause ohmic losses in the
wall.

In Fig. 20(a), the radial flux density at the location of the
tank wall at z = h/2 is depicted. The flux density is not purely
sinusoidal because of the presence of the six stator teeth. In
Fig. 20(b), the spectrum of the radial flux density is depicted.
Further simulations reveal that the coherence between the spec-
trum and the rotational position of the rotor αmech is negligible
and only the amplitudes of the second, the fourth, and the tenth
harmonic significantly depend on the load.

With the knowledge of the flux density, the wall losses can be
calculated. In [34] and [35], a mathematical model to estimate
the wall losses in a screened motor is provided. This calculation
is based on the assumption that the field penetrates the tank
wall perpendicularly and the wall is thin enough to consider the
field as constant throughout the radial dimension of the tank
wall. In Fig. 21, the flow lines of the eddy currents caused by
a sinusoidal harmonic of the radial flux density are depicted.
Each harmonic µ of the radial flux density is defined by the
amplitude B̂µ(Θ), the electric angular velocity ωel,µ, and the
corresponding number of pole pairs pµ. The according losses
in the tank wall with the height hwall = h · (1 + ξ) (cf. Fig. 21)
can be stated according to [34] as

Pwall,µ =
σ · δwall · D3

wall · h · π · ω2
el,µ · B̂2

µ(Θ)
8 · p2

µ

· Kµ(ξ)

(18)

Fig. 21. Eddy-current pattern in the tank wall caused by sinusoidal radial flux
density harmonic µ.

with the overhang correction factor

Kµ(ξ) = 1 −
tanh

(
pµ·h
Dwall

)

pµ·h
Dwall

·
(
1 + tanh

(
pµ·h
Dwall

)
· tanh

(
ξ · pµ·h

Dwall

)) .

(19)

The dependence of the amplitude B̂µ(Θ) on the MMF Θ was
determined by a set of simulations.

To calculate the total eddy-current losses in the tank wall

Pwall =
∑

µ

Pwall,µ (20)

all harmonic components of the flux density in the air gap must
be considered [cf. Fig. 20(b)].

In Fig. 22, the wall losses in dependence on the overhang
factor ξ are depicted. It arises that, at low overhangs (ξ < 1),
the wall losses are increased by raising the overhang. For
overhangs ξ > 1, the wall losses can be considered as constant.
For forthcoming investigation, an overhang factor ξ = 3 was
chosen since, in the real mixer setup, hwall � h is true.

As mentioned earlier, the analytical calculation of the eddy
currents in the tank wall was based on the assumption that
the flux density, penetrating the tank wall, has only a radial
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Fig. 22. Tank wall losses in dependence on the overhang. For overhang factors
ξ > 1, the wall losses can be considered as constant. The calculation and
simulation were done at Θ = Θmax,c and n = 500 min−1.

Fig. 23. Power losses in dependence on the motor speed. This evaluation is
based on the agitator setup 2.

component [34], [35]. In order to verify this assumption for the
case at hand, a 3-D FEM simulation was set up to compute the
wall losses. In this simulation, also the tangential components
of the flux density are considered. The results of the simulation
are presented in Fig. 22. The simulated wall losses are close to
the analytically calculated wall losses; thus, it could be proven
that this assumption is justified.

D. Total Losses

In Fig. 23, the total losses

Ptot = Pfe + Pcu + Pwall (21)

in dependence on the motor speed n are depicted. This evalu-
ation is based on the load curve T = T (n) from the agitator
setup 2 (cf. Section V). Fig. 23 reveals that the stator iron
losses are dominated by the hysteresis losses within the in-
vestigated speed range due to the low occurring frequencies.
In comparison to the total motor losses, the stator iron losses
are insignificant. The total motor losses are mainly composed
of the wall losses and the winding copper losses, whereby the
latter are dominating for speeds exceeding 250 min−1. The iron
losses of the rotor are not considered in this model because they

Fig. 24. Thermal FEM simulation of the mixer motor. Due to the axial
symmetry of the mixer motor, only a 30◦ cutout is investigated. The picture
shows the temperature distribution inside the motor. The motor is cooled by the
surrounding process fluid and two cooling helixes placed directly above and
below the winding.

TABLE I
SIMULATED TEMPERATURE AND MEASURED TEMPERATURE INSIDE THE

MOTOR. MEASURED VALUES ARE GIVEN IN BRACKETS

are very small and do not contribute to the temperature rise in
the mixer due to the contactless suspension.

E. Thermal Simulation and Experimental Verification

In order to evaluate the temperatures during operation, a
combined heat transfer–fluid simulation was set up (conjugated
heat transfer [28]). The motor is cooled by the surrounding fluid
and two additional water-cooling helixes. To realistically model
the heat transfer into the tank fluid, the flow pattern presented
in Section V was replicated. The simulated temperature distri-
bution for a full load is depicted in Fig. 24. The most critical
temperatures are the winding temperature ϑcu, the temperature
of the position sensor ϑS, and the temperature of the PCB ϑPCB.

In Table I, the most important results are summarized. With
both cooling helixes activated, the mixer motor can be operated
up to the nominal motor speed of n = 500 min−1. In this oper-
ation point, the torque is about T = 54 N · m (agitator setup 2),
and the maximal MMF Θ = Θmax,c = 5000 At. is applied.

If only cooling helix 1 is activated, the maximal MMF must
be reduced to Θ = Θmax,sc = 0.7 · Θmax,c, and if there is no
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water cooling applied, the maximal allowable MMF is limited
to Θ = Θmax,nc = 0.4 · Θmax,c in order to keep the winding
temperature below the maximal allowable value ϑcu,max =
130 ◦C.

Considering the agitator setup 2 (cf. Section V) with Θ =
Θmax,sc, the maximal possible motor speed is n = 450 min−1,
and a torque T = 47 N · m is achieved. With Θ = Θmax,nc,
the maximal possible speed is n = 410 min−1 which results
to a torque T = 32 N · m (cf. Table I). If the mixer should be
operated at nominal speed without additional water cooling,
an agitator design must be chosen which requires less torque
(e.g., setup 5).

All components must be protected from overheating not only
during operation but also during the sterilization process at
130 ◦C. In this operation state, the rotor is levitating, but
no torque is requested. Therefore, the only significant heat
source is the hot steam inside the tank. The simulation reveals
(cf. Table I) that, during the sterilization of the tank, all temper-
atures are below the permitted maximum temperature, even if
no additional water cooling is applied.

In order to verify the simulated temperatures, resistance
temperature sensors (pt100 type) were placed in the motor
before the assembly was potted. With these probes, the winding
temperature, the position sensor temperature, and the PCB tem-
perature were monitored during operation. The experimental
results are also shown in Table I. Since the test tank was made
of plastic, the experimental verification of the SIP process at
130 ◦C could not be executed so far.

With the fluid simulation presented in Section V and the
thermal simulations presented in this section, it could be proven
that the proposed bearingless motor produces sufficient torque
to propel various agitators, and with water cooling, overheating
during operation and sterilization is excluded.

VII. CONCLUSION

In this paper, a bearingless mixer motor with an exterior rotor
ring has been presented. The motor is optimized for the usage
in a 5000–10 000-L mixing facility. Based on fluid simulations
and experiments, it could be proven that the motor with a
nominal torque of 50 N · m and a nominal speed of 500 min−1 is
suitable for a wide range of agitator designs. Moreover, thermal
simulations and measurements were conducted to verify that
overheating of the motor is excluded during mixing operation
and that the motor can withstand the high temperatures arising
during the sterilization process. Finally, a prototype was set up
and put into operation successfully.
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